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This paper deals with aerodynamic and aerothermodynamic studies carried out to design a capsule vehicle

suitable for the recovery of crewmembers from the International Space Station and/or from exploration missions to

the moon or Mars. An integrated design tool called ENTRY is used to support vehicle reentry analysis and

computational fluid dynamics design activities. A possible low-Earth-orbit reentry scenario, with the associated

aeroheating environment, is generated and then analyzed. Several Euler and Navier–Stokes computations are

performed to simulate the flowfield past the vehicle, for both perfect-gas and nonequilibrium reacting-gasmodels for

the air. Numerical results and their comparison with flight data and wind-tunnel data are presented. An analysis of

flowfields, obtained from numerical computations, is provided by means of flight forces and moments coefficients.

Experimentally measured surface pressure distributions and aerodynamic coefficients compare rather well with

numerical results.

Nomenclature

A� = axisymmetric terms matrix
Af = forward Arrhenius constant, m3=kgmol s
CA = axial force coefficient
CD = aerodynamic drag coefficient
CL = aerodynamic lift coefficient
CMy = pitching moment coefficient

CN = normal force coefficient
Cp = pressure coefficient
D = capsule diameter, m
D = aerodynamic drag, N
Eaf = forward activation energy, J=kgmol
e = specific energy, J=kg
F = flux vector
F = aerodynamic force, N
H = height, m
�h = mean value of the cell dimension, m
kf = forward reaction-rate constant, m3=kgmol s
L = length, m
L = aerodynamic lift, N
L = grid level
M = Mach number
M = aerodynamic moment, Nm
p = pressure, Pa

_q = heat transfer rate,W=m2

Re = Reynolds number
Rb = capsule shoulder radius, m

RN = heat-shield radius, m
S = surface, m2

s = curve length, m
T = temperature, K
t = time, s
u = x velocity, m=s
V = velocity, m=s
V = volume, m3

v = y velocity, m=s
W = unknown state vector
w = z velocity, m=s
x = distance, m
x = Cartesian coordinate, m
y = Cartesian coordinate, m
z = Cartesian coordinate, m
� = angle of attack, deg
� = angle of sideslip, deg
�f = forward temperature exponent
" = emissivity, density ratio across the bow shock
� = specific heat ratio
� = flight-path angle, body-slope angle, deg
� = density, kg=m3

’ = capsule sidewall angle, deg
� = source-term vector

Subscripts

a = atomic species
cg = center of gravity
cp = center of pressure
D = diameter
E = entry interface conditions
i = ith chemical species
inv = inviscid part
j = jth chemical species
o = zero lift, total reservoir condition
ph = peak heating conditions
ref = reference
S = surface
t2 = stagnation-point conditions downstream of a normal

shock wave
v = vibrational
vis = viscous part
w = wall conditions
1 = freestream conditions
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I. Introduction

T HIS paper deals with the computational fluid dynamics (CFD)
analyses of the flowfield past a Crew Return Vehicle (CRV)

devised for the recovery of astronauts from the International Space
Station (ISS) and/or from outer space exploration missions, such
as those returning from the moon and Mars. Accurate numerical
simulations, accounting for real-gas thermodynamics, transport
properties variations, and finite rate chemical reactions (i.e., real-gas
effects) are mandatory for a proper design of reentry vehicles, since
the mentioned real-gas effects influence both vehicle aerodynamics
and aerothermodynamics [1–3].

An Apollo-shaped capsule concept was considered as a possible
CRV system, following the model proposed by NASA for the Crew
Exploration Vehicle (CEV); this configuration seems to be the most
natural option, because the Apollo vehicle is the only manned
spacecraft that returned from the moon [4]. Moreover, in 1998,
ESA successfully launched the Atmospheric Reentry Demonstrator
(ARD), which was also an Apollo-like capsule. The ARD program
was conducted primarily to validate existing and future ground-
based experimental and numerical aerothermodynamic models [5].

In this way, the CRV development can take advantage of the huge
amount of knowledge, both the experimental as well as the flight
data, obtained from the Apollo program and then from the ARD
program.

Moreover, the blunt-body design chosen for the CRValso follows
from the fact that for reentries with an high value of specific energy
(say, about 60 MJ=kg), a lower stagnation-point heating rate is the
most important vehicle design parameter, rather than the high-cross-
range and low-gravity-load capabilities experienced by a winged
lifting configuration. Indeed, a design solution such as the space
shuttle is still unrealistic, because it would demand a large mass
for the heat shield, which has to withstand very high heating rates on
the vehicle’s leading edges, as well as to manage the high overall
integrated heat load due to the long duration of lifting return
trajectories compared with the ballistic ones. In fact, it is well
known that the stagnation-point convective heat flux decreases with
increasing nose radius [6]. In this framework, the detailed analyses of
the flowfield around the CRValong the reentry trajectory, throughout
extensive numerical simulations, play an important role within the
space vehicle design [7,8].

Indeed, CFD simulations allow significantly reducing the number
of in-flight and plasma wind-tunnel experimental test campaigns, as
well as accounting for real-gas flow features, which are difficult to
reproduce in ground-test facilities [6]. For example, CFD allows
investigating the effects of the sonic line position shift, due to
changes of the gas specific heat ratio �, as well as the heat-shield
surface catalycity on the vehicle aeroheating. The sonic line dis-
placement is a very important aspect within the design process, since
the vehicle’s static aerodynamic instability markedly depends on the
changing of the sonic line shape and location [9]. Moreover, at the
vehicle surface, the thermal protection system could promote the
recombination of the dissociated chemical species produced behind
the strong bow shock [10]. These recombination reactions, through
the releasing of the heat of formation of themolecular species leaving
the heat-shield surface, increase the overall heat flux at the vehicle
walls. Such augmented heat flux can be up to twice the value
experienced by a noncatalytic wall [11,12]. The reliability of the
numerical analyses, however, strongly requires that accurate wind-
tunnel (WT) and flight data be used for code validation before the
CFD code can be employed to predict flow phenomena.

The CRV reentry flight profile is evaluated by the ENTRY (entry
trajectory) code, a design environment tool developed at the
Dipartimento di Ingegneria Aerospaziale e Meccanica to support
conceptual analysis and preliminary design phase of reentry
missions. ENTRY evaluates, at the engineering level, the realistic
flight conditions to be supplied as input for the vehicle flowfield
calculations: for example, the freestream conditions of the reentry
trajectory peak heating.

Several CFD simulations were performed with perfect-gas (PG)
and reacting-gas (RG) models for the air to assess the CRV

aerodynamics and aerothermodynamics in the framework of a low-
Earth-orbit (LEO) reentry mission scenario. To this end, starting
from the CRV reentry scenario assessment, axisymmetric and three-
dimensional Euler andNavier–Stokes computations were performed
with different wall boundary conditions [noncatalytic (NC), partially
catalytic (PC), and fully catalytic (FC)] at the peak heating conditions
of ballistic and lifting reentry trajectories, accounting for both cold-
wall and radiative surface cooling.

Special attention is paid to numerical results and their comparison
with flight data and WT data. The analysis of the flowfield obtained
from numerical simulations has been also provided; in particular,
the calculated aerodynamics coefficients are compared with the
measured ones. Experimentally measured surface pressure distribu-
tions and aerodynamic coefficients compare rather well with results
of the present computations.

II. Apollo-Like CRV Concept and the Reentry
Flight Scenario

AnApollo-style capsule (see Fig. 1) of about 5m in diameter, with
a nose radius of 6.05 m, a sidewall angle of 33 deg, and an overall
height of about 3.8 m has been investigated as a possible CRV. This
vehicle concept represents a scaled-up version of the ARD capsule,
which is a flying test bed successfully experimented by ESA in
October 1998, on the top of the Ariane 503 launcher, to obtain
accurate flight data for comparison with results from experimental
and numerical tools used for space vehicle design through all phases
of reentry flight [5]. The ARD was oversized to accommodate up to
six crewmembers for the ISS. In particular, the capsule diameter was
chosen to allow for the CRV/Ariane 5 integration, since the ESA
launcher features a diameter of about 5.4 m.

The CRV reentry analysis from the ISS orbit was performed by
using the ENTRY code. This code is capable of running descent
trajectories with three degrees of freedom using the U.S. Standard
Atmosphere (1976) and a nonrotating oblate Earth model when
the vehicle aerodynamic database and its ballistic coefficient are
available. To this aim, the ENTRY code quickly finds the Newtonian
aerodynamic database of the reentry vehicle once its outer mold
line (OML) is provided. ENTRY evaluates thermal environment,
deceleration environment, cross range and down range perform-
ances, reentry corridor, and real-gas effects experienced by the space
vehicle along the descent trajectory to obtain realistic flight con-
ditions to supply as input to the numerical computations.

In the framework of a feasibility study, ENTRY suggests a ballistic
coefficient of about 300 kg=m2 for the CRV under consideration,
because in order to maximize crew safety, a vehicle configuration
with low ballistic coefficient is mandatory for high-energy reentries
[4]. For this ballistic coefficient value, starting from the atmospheric
entry interface, at HE � 120 km with VE � 8 km=s (inertial) and
�E ��2 deg, ENTRY provides the reentry flight scenario in the
altitude-velocity plane, as reported in Fig. 2. In this figure, the iso-
Mach and iso-Reynolds curves are shown, as they characterize
aerodynamics and aerothermodynamics of the CRV. The continuous
curve is a ballistic reentry trajectory and represents the worst case
from the convective heat flux point of view. Along the dashed curve,
the capsule is trimmed at an angle of attack (AOA) of about 20 deg,

Fig. 1 Vehicle configuration with quotes and thermal-shield layout.
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which is constant over the critical heating regime, thus employing
aerodynamic lift to sustain the descent flight path (i.e., lifting return).
These reentry trajectories are characterized by aerothermal environ-
ments that have to be accurately predicted for a reliable CRV
aerodynamic heating assessment [13].

III. Flowfield Modeling and Numerical Solution

The physical mathematical model describing the flowfield around
a hypervelocity vehicle includes balance equations for mass,
momentum, total energy, and individual species. The full set of
equations for a viscous compressible continuum flow in thermal and
chemical nonequilibrium, assuming air to be a mixture ofNS perfect
gases (i.e., the mixture species) and Nv vibrating species, can be
written under the integral conservation form as follows [6]:

@

@t

Z
V

W dV �
Z
S

�Finv � Fvis� � n dS

� �

r

Z
V

�A�inv �A�vis� dV �
Z
V

� dV (1)

where

W � ��; �u; �v; �w; e; �1; . . . ; �Ns�1; �e�1; . . . ; �e�N� 	T

is the unknown state vector of the conserved quantities, where � is
the fluid density; �u,�v, and �w are themomentumdensities; e is the
total internal energy per unit mass; �i and evi are, respectively, the
density and the vibrational energyof the ith species;�evi accounts for
vibrational energy conservation; F is the flux vector, split into an

inviscid and a viscous part, the expression of which is well known in
literature [10] and therefore it is not written here, for simplicity;A� is
the axisymmetric terms matrix, split into an inviscid and a viscous
part; � is equal to 1 for axisymmetric flows and 0 for 2-D and 3-D
flows; and

� � �0; 0; 0; 0; 0;�1; . . . ;�Ns�1;��1; . . . ;��N�
	T

is the source-term vector that defines mass and energy exchanges
among species, as a result of the chemical reaction rate and of the
energy transfer due to internal excitation. Hence, � models the
nonequilibrium processes. Finally, V is the arbitrary control volume
cell, S is its closed boundary control surface, and n is the outward
normal unit vector [10].

The computational analyses are performed by using the code
H3NS, developed at the Aerothermodynamics and Space Propulsion
Laboratory of the Centro Italiano Ricerche Aerospaziali [14].
The H3NS code solves the full Reynolds-averaged Navier–Stokes
equations and considers the airflow in thermochemical non-
equilibrium.

Several chemical kinetics models with five species (O, N, NO,O2,
and N2) are implemented. Three dissociation reactions and two
exchange reactions have been considered as reaction mechanisms,
as reported in Tables 1 and 2, where M is the reacting partner
(third body) [17]. Therefore, the reaction mechanism results in the
system of 17 chemical reactions. The forward f reaction rates kf;r
(r� 1; . . . ; 17) are expressed in the Arrhenius form, with the
constants Af , �f , and Eaf provided in Tables 1 and 2 for the kinetics
models of Dunn–Kang (DK) and Park, respectively [15,16]. The
energy exchange between vibrational and translational temperature

Fig. 2 Reentry flight scenario, starting from LEO orbit.

Table 1 Reaction-rate parameters with Dunn–Kang model [15]

No. Reaction Af;r, m
3=kgmol s �f;r Eaf;r, J=kgmol Third-body efficiency

1 O2 �M� 2O�M 3:60 
 1015 �1:0 4:938 
 108 O2 � 9, N2 � 2, O� 25, N� NO� 1
2 N2 �M� 2N�M 1:92 
 1014 �0:5 9:404 
 108 O2 � 1, N2 � 2:5, O� NO� 1, N� 0
3 N2 � N� 3N 4:15 
 1019 �1:5 9:404 
 108 ——

4 NO�M� N� O�M 3:97 
 1017 �1:5 6:286 
 108 O2 � N2 � 1, O� N� NO� 20
5 NO� O� O2 � N 3:18 
 106 1.0 1:638 
 108 ——

6 N2 � O� NO� N 6:75 
 1010 0.0 3:118 
 108 ——

Table 2 Reaction-rate parameters with Park model [16]

No. Reaction Af;r, m
3=kgmol s �f;r Eaf;r, J=kgmol Third-body efficiency

1 O2 �M� 2O�M 1:00 
 1019 �1:5 4:947 
 108 O2 � N2 � NO� 0:2, O� N� 1
2 N2 �M� 2N�M 3:00 
 1019 �1:6 9:412 
 108 O2 � N2 � NO� 0:233, O�N� 1
3 NO�M� N� O�M 1:10 
 1014 0.0 6:277 
 108 O2 � N2 � 0:05, O� N� NO� 1
4 NO� O� O2 � N 2:40 
 106 1.0 1:598 
 108 ——

5 N2 � O� NO� N 1:80 
 1011 0.0 3:193 
 108 ——
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is based on the Landau–Teller nonequilibrium equation, with
average relaxation times taken from the Millikan–White theory as
modified by Park (as discussed in [6]).

The viscosity coefficients for the single species, as well as the
diffusion coefficients, are computed by means of Yun–Mason
tabulated collision integrals, and the conductivity coefficients are
computed by usingEucken’s law; for the gasmixture, the coefficients
are calculated using the semi-empirical Wilke formulas [6].

From the numerical point of view, the governing equations,
together with the proper boundary conditions, are discretized using a
cell-centered finite volume formulation on a structured multiblock
grid. For the single-mesh cell, the discretized equation reads

dWc

dt
� 1

Vc

X6
f�1
�Fcinv � Fcvis�f � n�

�

r
�A�cinvA�cvis� �Hc (2)

where f is the index of the cell face, and c refers to the single cell of
the computational domain.

The inviscid fluxes at cell interfaces are calculated by using a flux-
difference-splitting Riemann solver, particularly suitable for high-
speed flows.

The viscous fluxes are calculated by central differencing, i.e.,
computing the gradients of flow variables at cell interfaces by means
of Gauss theorem. However, second-order accuracy is not auto-
matically reached; for this reason, a second-order essentially non-
oscillatory technique for the reconstruction of cell interface values is
employed. The method is second-order-accurate in space. Time
integration is performed by employing both an explicit single-stage
(Euler forward) algorithm and an explicit five-stage Runge–Kutta
scheme, coupled with an implicit evaluation of the chemical and
vibrational source terms, under the hypothesis of time-marching
approach to reach the steady solution for the flow. Sequential and
parallel versions of the code are available.

Numerical analyses have been performed for all conditions of NC,
PC, and FC surfaces for both cold-wall and radiative surface cooling.
In the latter case, the wall temperature is calculated by Stefan–
Boltzmann law and is updated explicitly at each streamwise station
by means of a Newton–Raphson approach, usually achieving
convergence within a few iterations.

IV. CRV Computational Flowfield Analyses
and Comparison with WT and Flight Data

Axisymmetric and three-dimensional computations for both
perfect and chemically reacting-gas approximation have been per-
formed for the freestream conditions of Table 3. The far field is

assumed to be made up of 79% of molecular nitrogen (N2) and 21%
of molecular oxygen (O2).

In the following sections, several comparisons between present
numerical results and numerical and experimental data (both from
WT and flight) available in literature are provided. Moreover, for a
more accurate assessment of the reliability of present results, several
comparisons have been made with results from simplified solution
methods, ranging from simple closed-form solutions to modified
Newtonian (MN) methods.

A. Computational Grid

Computations have been carried out on multiblock structured
grids generated with the tool ICEM-CFD. Each grid is tailored to
account for the specific flow conditions of each case reported in
Table 3. For example, Fig. 3 shows one of the grids designed to
capture the flowfield around the CRV. Eachmesh contains 32 blocks,
for an overall number of about 750,000 cells (half-body only, since
no sideslip velocity has been accounted for).

In particular, the mesh was initially generated algebraically and
then adapted as the solution evolved, aligning the grid with the bow
shock and clustering points in the boundary layer. This reduces the
spurious oscillations in the stagnation area that are often observed in
hypersonic flows, especially for large blunt-body flowfield compu-
tations. The distribution of surface grid points was dictated by the
level of resolution desired in various areas of the vehicle, such as
the stagnation region and base fillet, according to the computational
aims. The value of the grid spacing near the wall was found to be on
the order of 10�6 m to accurately predict heat transfer at the vehicle
surface. Further, the number of grid points in the shoulder region was
large enough to capture the rapid expansion that theflow experienced
locally and to then accurately predict flow separation and the angle
of the resulting shear layer. There are also sufficient points in the
separated-flow region to resolve the vortical structure at the
beginning of the wake flow.

B. Computational Results

To assess the reliability of present numerical analyses, a numerical
rebuilding of ONERA S4 WT test, reported in [18], has been
performed. The S4 tests campaign provided pressure profiles on the
forebody centerline of the ARD capsule for assessment of the
aerodynamics. The test reservoir conditions considered are P0 �
25 bar and T0 � 1108 K. These values are obtained at freestream
conditions of M1 � 10, P1 � 77:17 Pa, T1 � 55:70 K, and
�� 20 deg, as summarized in Table 3. The aerodynamic pitching
moment versus AOA is also provided.

Table 3 Freestream conditions of numerical computations

Run no. Altitude, km Mach Pressure, Pa Temperature, K AOA, deg

1 50 10 79.78 270.65 0
2 57 19 32.78 255.27 0
3 67 22 8.18 227.08 0
4 57 19 32.78 255.27 10
5 57 19 32.78 255.27 17.5
6 57 19 32.78 255.27 20
7 62 22 16.68 241.53 20
8 57 19 32.78 255.27 28
9 57 16 32.78 255.27 28
10 57 12 32.78 255.27 28

ARD trajectory points

11 46 10 131.30 266.93 20
12 54 15 48.34 263.52 20
13 65 24 10.93 233.29 20

ONERA S4 wind tunnel

14 —— 10 71.17 55.70 20
AEDC tunnel Ca

15 —— 10.18 —— —— ——

16 —— 10 —— —— ——

aFor run 15 ReD � 1:1 
 106, and for run 16, ReD � 1:2 
 106.
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Recalling that experimental tests were performed with a flow total
temperature of about 1100 K, the CFD simulations are performed
with the perfect-gas model only. Results of present computations are
summarized and compared with experimental data in Figs. 4–6.

The flowfield past the CRV is shown in Fig. 4, in which the Mach
number contour field is plotted and compared with a schlieren image
captured in the S4 facility. As shown, good agreement is obtained for
bow shock standoff and curvature; this is an important prerequisite
for the validation of a CFD code against experimental data.

As far as the pressure-field analysis is concerned, several com-
parisons for the pressure coefficientCp are provided between present
numerical results and numerical and flight data available for the
Apollo and ARD capsules [5,18,19].

Indeed, the Cp allows absolute level comparisons between
numerical reconstruction results and experimental data. Pressure
coefficient comparisons between the present computation and the
numerical and experimental data provided by Walpot [18] are given
in Fig. 6, in which the comparison for the aerodynamic pitching
moment coefficient is also shown. As shown in Figs. 4–6, experi-
mental and numerical data compare rather well.

Next, comparisons between experimental and numerical results
for fourAOA (0, 10, 20, 28 deg) are reported in Fig. 7,which displays
the pressure ratioPw=Pt2 on the capsule pitch-plane forward thermal
shield for present results andWTexperimental data provided in [19].

Experimental data available only for �� 0 and 20 deg refer to a
test performed in tunnel C at Arnold Engineering and Development
Center (AEDC) at freestream Mach number 10.18 and Reynolds
number Re1D � 1:1 
 106 [19]. As a further comparison, the pres-
sure distribution Pw on the capsule centerline can be evaluated with
the MN theory that gives

Pw
Pt2
� sin2�� P1

Pt2
cos2� (3)

As one can see, numerical, experimental, and theoretical data agree
well for all AOA.

It is worth noting that differences between the numerical and MN
pressures at the capsule corner (i.e., at s=Rb � 0:965) are due to the
vehicle’s forebody, which is a truncated spherical cap. This means
that the streamwise velocity gradients must be relatively large (above

Fig. 4 Mach number computed contours and comparison with the ARD schlieren photograph taken in the ONERA S4 WT for M1 � 10 and

�� 20 deg (P0 � 25 bar) [18].

Fig. 3 Multiblock computational grid.
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the value needed for a full hemisphere) to produce sonic flow at the
capsule corner [19] and, as is well known, that the heat flux increases
at the capsule corner, as shown in Fig. 8. This figure shows the com-
parison of the heat flux at the capsule forebody centerline between
present results and heating rates measured in tunnel C for a nominal
freestreamMach number of 10 and for freestream Reynolds number,
based on the model’s body diameter, of 1:2 
 106 [19].

Figure 9 shows present CFD results and flight-data comparisons at
the ARD trajectory point atMach 10 and �� 20 deg [5]. As shown,
the numerical reconstruction refers to PG and nonequilibrium com-
putations, whereas the error bars associated with flight data accounts
for uncertainties of preflight aerodynamic database (drag coeffi-
cients), measurements, and atmospheric-pressure dispersion [5].

Real-gas effects are clearly displayed in the stagnation region.
Figure 10 displays CFD results and ARD flight-data comparison at
the ARD trajectory point at Mach number 15 [5]; the magnitude of
real-gas effects is increased at this flight condition, compared with
the case of Mach 10. Real-gas effects, however, are maximized at a
Mach number of 24, as displayed in Fig. 11. Therefore, Figs. 9–11
suggest that CFD results compare rather well with flight data for both
PG and RG computations.

In particular, as shown in Fig. 12, in which Cp profiles at various
Mach numbers are provided, numerical computations are able to
describe the differences betweenRGandPG,which increasewith the
altitude along theARD reentry trajectory. Indeed, themain impact on
the pressure coefficient is localized in the stagnation-point region and
in the windward and leeward expansion zones. The stagnation point
shifts in the direction of the windward side and the stagnation pres-
sure increases with the Mach number. The Cp level of the leeward
shoulder (tore) decreases with the Mach number, whereas on the
windward tore, it is stronger when the Mach increases.

C. Preliminary Assessment of CRV Aerodynamics

The analysis of the CRV aerodynamics is given in terms of lift
CL, drag CD, and pitching moment CMy coefficients, as they are of
primary interest for an axisymmetric capsule. They are defined by

Ci �
Fi

1
2
�1V

2
1Sref

i� L;D (4)

CMj �
Mj

1
2
�1V

2
1LrefSref

j� Y (5)

The reference parameters chosen for the definition of aerodynamic
forces and moment coefficients are the longitudinal reference length
(Lref �D� 2Rb) equal to the capsule diameter (e.g., 5.0 m), and the
reference area (Sref � �R2

b � 19:6 m2), equal to themaximumcross-
sectional area of the CRV. The pitching moment is computed from
the vehicle nose. The CRVaerodynamic database (AEDB) has been
generated for the following ranges (see Fig. 2): 3 � M1 � 24,
150 � � � 180 deg, 105 � Re1D � 107, and �� 0 deg (no
lateral directional analysis has been considered).

The curves of lift, drag, aerodynamic efficiency, and pitching
moment coefficients for � ranging from 150 to 180 deg are shown in
Figs. 13–16.Note that� ismeasured from the capsule apex as done in
the past for theApollo commandmodule aerodynamics development
[20].

Figures 13–16 show comparisons of present CFD results sum-
marized in Table 4, experimental data provided in [20], and results of
the MN theory, obtained for different specific heat ratios �. Because
of the simple geometric shape ofCRV, theMN theory is easily used to
give the drag coefficient of the CRVat zero lift:

Fig. 5 Wall shear stress; comparison with ARD oil flow patterns in the ONERA S4 WT [18].
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CDo �
2�

Sref

Z
�

0

Cpr
2 sin � cos � d�� �2 � "�

2
�1� cos2�� (6)

where �� sin�1�Rb=RN�, and "� �1=�2 is the density ratio across
the bow shock at the stagnation point.

Lift, drag, and pitching moment coefficients read

CD � CDo � 12�1 � CDo�sin2
�

2
� 6�6 � 5CDo�sin4

�

2

� 4�6 � 5CDo�sin6
�

2
(7)

CL � �2�1 � CDo� � �3 � 5
2
CDo�sin2�	 sin� (8)

CMynose ��
xcp
Lref

CY ��
�2 � "�
2Lref

xcp cos� sin�sin
2� (9)

where xcp is the abscissa of the center of pressure that is influenced, as
is well known, by the real-gas effects [2].

The different results compare rather well. Moreover, since the
pitching moment derivative CM� is negative, the CRV is statically
stable for � ranging from 150 to 180 deg, provided that the capsule’s
center of gravity is close to the moment reference point. To further
verify the reliability of CRVaerodynamics, Figs. 17 and 18 compare

Fig. 7 Pressure distribution in the capsule pitch plane for four AOA (i.e., 0, 10, 20, 28 deg); comparison among MN, present CFD results, and WT
data [19].

Fig. 8 Heat flux distribution on the forebody centerline; comparison

among present, WT [19], and Lees [22] data.

Fig. 9 Pressure coefficient distribution on theCRV forebody centerline

at M1 � 10; comparison among present CFD results and ARD flight

data [5].
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the present numerical results with the ARD aerodynamics flight-data
(AEDB) reconstruction [5].

As shown, the trends of both axial force CA and normal force CN
coefficients are consistent with the experimental data. In particular,
with reference to the axial force coefficient, the CFD PG values do
not match the reconstructed values, which are closer to the CFD RG
values, thus suggesting a relevance of real-gas effect in flight.

On the other hand, for the normal force coefficient, the dis-
crepancy between present CFD results and flight data seems low.
Moreover, the CFD results/flight-data matching for CN seems to be
the best when a nonequilibrium assumption is considered, whereas
forCA, matching the best is for the equilibrium assumption. This can
be explained by recalling that CN is more sensitive than CA to the
pressure flowfield on the rear conical part of the capsule; that part of
the vehicle is quite difficult to compute, and the comparison with
flight results in terms of pressure field is not as good, and so the
present CFD results forCN cannot be considered as fully realistic [5].

As far as flow chemistry effects are concerned, it is worth noting
that CFD results reported in Table 4 involve both Dunn–Kang and

Park chemical kinetics models. Thus, the effects of finite rate
chemistry on the CRV aerodynamics can be appreciated. Results
summarized in Table 4 (see also Figs. 13–16) show that there are no
significant differences when switching from Dunn–Kang to Park
kinetics.

In particular, the effects of both chemical reactions and their
kinetics on CRVaerodynamics atM1 � 16 and 19 for �� 28 deg
can be recognized in Figs. 19 and 20. Figure 19 confirms that for both

Fig. 10 Pressure coefficient distribution on the CRV forebody
centerline atM1 � 15; comparison amongCFDandARD flight data [5].

Fig. 11 Pressure coefficient distribution on the CRV forebody
centerline atM1 � 24; comparison amongCFDandARD flight data [5].

Fig. 12 Pressure coefficient distribution on the CRV forebody

centerline at M1 � 10, 15 and 24.

Fig. 13 Lift coefficient; comparison between present CFD, theoretical,
and experimental results.

Fig. 14 Drag coefficient; comparison between present CFD, theoret-

ical, and experimental results.

Fig. 15 Aerodynamic efficiency; comparison between CFD, theoret-

ical, and experimental results.

VIVIANI AND PEZZELLA 265



Mach numbers, MN theory results compare well with reacting-gas
results, provided that they are within MN and PG estimations.
Instead, for the effect of chemical kinetics, the left side of Fig. 20
highlights that at M1 � 16, no differences are expected for the
aerodynamic coefficients switching from Dunn–Kang kinetics to
Park kinetics. However, atM1 � 19, both lift and drag coefficients
increase when we change the gas model from the PG model to the
Dunn–Kang or Park kinetics. Considering only the latter kinetics
model, a difference of about 2% is observed on the value ofCL and of
about 5% on the value of CMy. These conclusions are confirmed by
Fig. 20, in which the vehicle center-of-pressure abscissa xcp, with
respect to the MN estimation, is given. Figure 20 shows that at
M1 � 16, the value of xcp for the PG solution decreases by about
10% with respect to the MN estimation.

At this Mach number, however, there is no difference between
values provided by the two chemical kinetics models. AtM1 � 19,
instead, even though the value of xcp for the PG solution decreases
again by about 10% with respect to the MN estimation, Dunn–Kang
and Park models provide values differing from each other by about
2%. The latter difference is dangerous if neglected in the design of
capsule thermal-shield layout.

Finally, the Mach number effect on the capsule aerodynamics can
be recognized in Fig. 21. It can be observed that for a fixed value of �
(i.e., 152 deg), assuming the Dunn–Kang kinetics, an increase in the
Mach number causes a slight reduction of CL and CD, whereas their
ratio and the values ofCMy remain practically constant. For example,
when theMach number is increased fromM1 � 12 to 19,CL andCD
decrease by about 4.5%. On the contrary, with the Park’s kinetics, if
Mach increases from 16 to 19, CL increases and CMy decreases,
whereas CD does not change.

D. Preliminary Assessment of CRV Aerothermodynamics

The aerothermal loading environment corresponding to the flight
scenario proposed for the CRV is summarized in Fig. 22, which
shows plots of the stagnation-point heating rate versus the altitude in
the case of both lifting and ballistic descent. The heat flux profiles at
radiation equilibrium ("� 0:85) were provided for NC, PC, and FC
wall boundary conditions. When CRV performs the lifting reentry,
the peak heating occurs at Hph � 62 km and Mph � 22 conditions
and is equal to about 372 kW=m2 when the heat-shield wall is
supposed to be FC. If the wall is NC, a value of 245 kW=m2 is
foreseen, and for a PC wall, the heat flux is 275 kW=m2.

However, the peak heating of the reference ballistic trajectory is
attained at Hph � 57 km and Mph � 19 conditions and is equal to
about 430 kW=m2 in the case of a FC wall; it is about 280 kW=m2

when the wall is NC, whereas in the case of a PC wall, the peak heat
flux reaches about 325 kW=m2.

Once freestream conditions of trajectories’ peak heating were
provided, a number of Navier–Stokes computations were performed
in the case of nonequilibrium reacting gas by alternatively consid-
ering the heat-shield surface as NC, PC, and FC. Computations refer
to the capsule surface both for cold-wall and for radiative equilibrium
temperature conditions. No heat-shield ablation and recession were
considered herein.

Figure 23 shows comparisons of the convective heat flux along
the forebody centerline between the cases of FC and NC cold
walls (Tw � 300 K) evaluated at the peak heating conditions of the
ballistic trajectory for �� 0 deg. Note that the bold continuous line
is the capsule forebody centerline so that x and y coordinates help the
reader to localize the heat flux profile on the vehicle OML (refer also
to Fig. 1). As shown, the ratio � _qFC= _qNC�w of heating for FC over that
for NC is equal to about 1.5. It is expected to decrease when the wall

Fig. 16 Pitching moment coefficient; comparison between CFD,

theoretical, and experimental results.

Table 4 CRV aerodynamics: drag, lift, aerodynamic efficiency, and
pitching moment coefficient as a function of the test case considered

(Mach, flow model, and AOA)

Mach Flow model AOA,
deg

CD CL L=D CMy

10 PG 180 1.4760 0.0000 0.0000 0.0000
10 RG (Table 1) 180 1.5300 0.0000 0.0000 0.0000
12 RG (Table 1) 152 1.1814 0.4664 0.3948 0.1064
16 PG 152 1.0965 0.4339 0.3957 0.0964
16 RG (Table 1) 152 1.1392 0.4479 0.3932 0.1067
16 RG (Table 2) 152 1.1389 0.4480 0.3934 0.1066
19 PG 170 1.4300 0.2104 0.1471 0.0341
19 RG (Table 1) 170 1.5000 0.2143 0.1429 0.0424
19 PG 160 1.2420 0.3770 0.3024 0.0733
19 RG (Table 1) 162.5 1.3800 0.3437 0.2491 0.0728
19 PG 152 1.0940 0.4328 0.3956 0.0956
19 RG (Table 1) 152 1.1315 0.4456 0.3938 0.1060
19 RG (Table 2) 152 1.1386 0.4541 0.3988 0.1008

Fig. 17 Normal force coefficient; comparison among present CFD and

ARD reconstructed aerodynamics data (AEDB) [5].

Fig. 18 Axial force coefficient; comparison among present CFD and

ARD reconstructed aerodynamics data (AEDB) [5].
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temperature increases, but in any case, it will be higher than the case
of an adiabatic radiative equilibrium wall (see Fig. 24).

A catalytic effect can be appreciated as well, since in the case of an
FC wall, atoms fully reassociate due to the cold-wall temperature
hypothesis. To appreciate the effect of the chemical species diffusion

toward the wall, Fig. 23 also reports both the conductive and the
chemical contributions to the FC heat flux.

Figure 23 confirms that the capsule sidewall corner, as known, is
the hottest vehicle part, especially when the CRVis flying trimmed at
a nonzeroAOA, as shown inFig. 24, inwhich heatflux profiles on the
capsule forebody are reported for �� 20 deg.

Figure 24 shows the comparison of the heat flux along the
forebody centerline at surface radiative cooling conditions
("� 0:85) with the cases of FC, PC, and NC walls at the peak
heating conditions of both ballistic and lifting reentry.

In conclusion, both Figs. 23 and 24 confirm that overheating
caused by catalytic action is potentially very large compared with the
case of an NC wall. Moreover, the largest difference occurs at the
sphere-cone junction (corner fillet), where large changes occur in
the flow gradients along the surface. Therefore, the corner radius
represents the dominant geometric feature for the convective heating,
instead of the usual heat-shield radius of curvature, RN . Indeed, the
peak heating does not occur at the stagnation point, which is on the
spherical cap, but on the capsule’s toroidal surface.

Finally, Fig. 25 shows the static pressure contours distribution on
the capsule surface and surface streamlines, which highlight the
complexity of the flow structure as, for example, the separation
bubble that is generated at the vehicle afterbody (left side of Fig. 25).
As one can see, the flow remains attached on thewindward side of the

Fig. 19 Effect of chemical reactions and kinetics at �� 28deg for M1 � 16 and 19; comparison among MN, PG, DK, and Park computations.

Fig. 20 Effect of chemical reactions and kinetics on xcp at �� 28 deg
for M1 � 16 and 19; comparison among MN, PG, DK, and Park

computations.
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Fig. 21 Effect of chemical kinetics on capsule aerodynamics at�� 28 deg vsMachnumber; comparison amongMN,PG,DK, andPark computations.
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conical afterbody, whereas separation occurs near the maximum
diameter point on the CRV shoulder. It should be noted that know-
ledge of this point is relevant for the capsule afterbody aeroheating
assessment.

E. Reliability of CFD Results

All CFD results provided in this paper refer to both converged and
grid-independent computations, as described hereinafter. To assess

numerical solution convergence, both equation residuals and aero-
dynamic coefficients (i.e.,CL,CD, andCMy) and the stagnation-point
heat flux have been monitored during iterations. Solution con-
vergence is assumed when equation residuals drop more than three
orders of magnitude and both the aerodynamic coefficients and the
stagnation-point heat flux plots are flat for enough time.

As an example, the convergence histories of drag coefficient and of
stagnation-point heat flux in the case ofM1 � 19,H � 57 km, and
�� 0 deg are reported in Fig. 26. As one can see, the numerical
computation is stopped and assumed to converge at about 300,000
iterations, since the plotted curves look flat.

As far as grid convergence analysis is concerned, mesh sensitivity
analyses have been carried out on three levels of the structured
multiblock grid (L1, L2, and L3) and the Richardson extrapolation
criterion has been applied. The medium grid L2 is obtained by
halving the size of cells of the coarse L1 grid, and so the number of
cells of L2 is eight times larger than the number of cells of L1.
Similarly, the finer grid L3 is obtained by halving the size of cells of
themedium grid, and so its number of cells is 64 times larger than the
number of cells of L1.

As a numerical strategy, the single computation is started on the
coarsest grid level and then, when a satisfying level of accuracy has
been reached, the solution is successively interpolated on finer
grids and restarted. Hundreds of thousands of iterations have been
necessary to reach solution convergence, both in terms of steady-
state solution and grid independence of results.

If the solution is in the asymptotic range of convergence, it is
possible, by means of the Richardson extrapolation criteria, to
estimate the value of a global (CL,CD, etc.) or a local (pressure, etc.)
solution functional f at virtually zero cell dimension � �h� 0�, i.e.,
at an infinite number of cells. This value can be obtained by

Fig. 22 Vehicle aeroheating environment for lifting (left) and ballistic (right) reentry.

Fig. 23 Heat flux on the CRV forebody centerline for �� 0 deg,
M1 � 19, H � 57 km, and Tw � 300 K.

Fig. 24 Heat flux on the forebody capsule centerline for ballistic (left) and lifting (right) trajectory. Vehicle trimmed at �� 20 deg with the wall

radiative equilibrium condition; comparison among the cases of FC, PC, and NC walls.
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interpolating the variable f versus the inverse of the cubic root of the
number of cells (representative of ameanvalue of the cell dimension,
�h). For example, Fig. 27 shows the grid sensitivity analysis for both
the drag coefficientCD and the stagnation-point heatflux for theCFD
computation atM1 � 19, H� 57 km, and �� 0 deg.

The values reported are the L1, L2, and L3 and the Richardson
extrapolated values for bothL1-L2 andL2-L3 grid spacing that, in the
hypothesis of a spatial second-order scheme and a grid-level ratio
equal to 2, can be obtained by means of the following formula:

f� �h� 0� � 4
3
� fLi�1 � 1

3
� fLi (10)

To account for the uncertainty due to the grid dependence of the
variable, both the Richardson extrapolated values and the grid
convergence index (see the error bars in Fig. 27) are used.

The grid convergence index (GCI) on the fine grid L3 is defined as

GCI � Fs
�rp � 1�

����fL3 � fL2fL2

���� (11)

whereFS is a safety factor (1.25 for three or more grid levels), r is the
ratio between the grid spacing of two grid levels (r� 2), and p is
the (effective) order of the spatial discretization (not equal to that of
theoretical consideration) that can be obtained with the following
formula:

p� ln
�
fL1 � fL2
fL2 � fL3

�
� 1

ln �r� (12)

For a better comprehension, the error bars are located at levels three
and two of grid spacing. It is interesting to note that the L2-L3 error
bar is fully containedwithin theL1-L2 error bar. In addition, as a good
convergence factor, we can note that the L1-L2 extrapolated value is
contained within the L2-L3 error bar [21]. Finally, note also that the
L1-L2 Richardson extrapolation is a good estimation of the level 3
CFD computation.

As a conclusion of this grid convergence analysis, it is worth
noting that as a general rule for such a complex geometry, the
maximum number of cells used was chosen according to an
acceptable estimation of the CPU time.

V. Conclusions

An application of the ENTRY tool aimed at supporting the
preliminary design of the reentry phase has been provided for an
Apollo-like CRVable to transport up to six crew members and cargo
to and from the ISS and, perhaps in the future, to carry explorers to the
moon and Mars. In this framework, a possible LEO reentry scenario
and associated aeroheating environment have been generated and

Fig. 25 Pressure distribution and vehicle surface flow patterns at M1 � 19, AOA� 20 deg, H � 57 km for reacting-gas computation.

Fig. 26 Convergence history of drag coefficient and stagnation-point

heat flux for M1 � 19, H � 57 km and �� 0 deg for CFD

computation.

Fig. 27 Grid sensitivity analysis: drag coefficient and stagnation-point heat flux atM1 � 19,H � 57 km and�� 0 deg, for L1, L2, and L3 grid levels.
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analyzed. Then, using numerical simulations, the flowfield around
the vehicle has been investigated at different flight conditions such as
those of reentry trajectory peak heating.

Results from numerical simulations, flight data, and wind-tunnel
tests have been presented and compared. CFD results agreewell with
the experimental data and have shown that flow physics can have a
great impact on CRV aerodynamics and aerothermodynamics.
Results also show that real-gas effects mark the front-shield section
pressure distribution by magnifying flow expansion on the leeward
part while increasing compression near the stagnation point and
shifting this point toward the shoulder. Moreover, the comparison of
results shows that present CFD simulations are consistent with flight
reconstruction trends: in particular, they show the relevance of some
real-gas effects in the high hypersonic range.

Effects offinite rate chemistry on theflowfield around theCRVin a
reentry flight have been also highlighted. In particular, atM1 � 16,
no differences are expected for the aerodynamic coefficients when
switching from Dunn–Kang kinetics to Park kinetics, whereas at
M1 � 19, a difference of about 2% is observed for the value of CL
and of about 5% for the value of CMy.

Finally, present CFD results underline that as far as the capsule
aeroheating is concerned, the maximum heat flux at capsule corner,
which depends on wall catalycity, is equal to about 800 kW=m2 and
is reached at the peak heating of ballistic reentry trajectory for an FC
cold-wall boundary condition.
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